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Abstract

Prediction of the remaining useful life of composite structures can improve inspections scheduling
efficiency and allow timely intervention in case of unexpected and iminent failure. In previous work
using Fiber Bragg Grating (FBG) sensors embedded within E-glass fiber/epoxy resin composites, the
material degradation calculation accuracy based on the cycle-by-cycle elastic strain energy released
was affected by the reduction in magnitude of the measured strain due to the peak splitting effect.
Moreover, a quantitative assessment of the number of cycles until failure has not been addressed using
Thermoelastic Stress Analysis (TSA). This work proposes to readapt the same methodology into a
remaining elastic strain energy calculation for glass fiber reinforced composites cyclically loaded under
tensile-tensile high-cycle fatigue conditions using the TSA capabilities. The results are intended to state
the advantages of replacing preallocation of strain measuring devices by full-field and non-contacting
techniques that scan a wider area and provide multiple data points to assess the actual structural
remaining useful life.
Keywords: Thermoelastic Stress Analysis, Laminated Composite Materials, Structural Health
Monitoring, Remaining Useful Life Prediction

1. Introduction

Polymer matrix composite materials, in partic-
ular glass and carbon fiber-reinforced, started to
emerge as an alternative to alluminium alloys in
aerospace structures, thus reducing fuel consump-
tions and the operational costs due to the higher
stiffness achieved by the light-weight manufactured
parts [1]. Within a flight course, aircrafts are sub-
mitted to different variable load environments that
lead to fatigue damage [2]. Current damage iden-
tification is still carried out using preventative re-
placement and periodical Non-Destructive Inspec-
tion (NDI) techniques [3] that rely on a priori
knowledge of prone-to-damage or already damaged
sites (e.g. by first performing a Full-Scale Fatigue
Test (FSFT) [4]). A different approach is to extract
damage sensitive measurements (e.g. stress and
strain) while the structure is under service. This
procedure is denoted as Structural Health Monitor-
ing (SHM) [4].

The mechanical-thermal coupling occuring in
solids adiabatically deformed under the linear elas-
tic stress-strain domain is denoted as thermoelastic
effect. John Goughs experiments reported in 1803
using indian rubber (or caoutchouc) were pioneer
in the qualitative observation of the phenomenon

[5]. The mathematical interpretation of the sur-
face principal material stresses (∆σ) based on the
temperature difference (∆T ) measured between two
loading states in isotropic materials was originally
derived by William Thomson around 1850s [5]:

∆T = − α

ρCp
T0∆σ (1)

where ρ is the density, α is the coefficient of thermal
expansion, Cp is the specific heat at constant pres-
sure (all assumed to be temperature independent)
and T0 is the mean absolute surface temperature.
Adiabatic conditions require minimization of inter-
laminar heat diffusion effects achieved by increasing
the loading frequency [6].

The very small cyclic surface temperature
changes only became detectable with the enhace-
ment and commercial availability of highly sensitive
infrared detectors. The idea of applying these tech-
nologies for stress measurements is the baseline of
the Thermoelastic Stress Analysis (TSA) technique.
The potential to use TSA’s output to directly pre-
dict fatigue lives was antecipated by Wong [7] as an
emergent research topic. Emery and Dulieu-Barton
[8] correlated both Young’s Modulus and first strain
invariant trend evolutions with the iminent failure
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scenario of GFRPs under fatigue loading. In ad-
dition, Johnson et al [9] applied the probabilistic
Markov Chain Method (MCM) to determine limit-
ing stochastic S-N curves for a FRP single lap joint.
However, exploitation of the full-field nature of TSA
for quantitative remaining useful life (RUL) predic-
tions can still be addressed to a greater extent.

The main objective of this work is to derive
a pixel-by-pixel prediction of the number of cy-
cles until failure of a GFRP with a quasi-isotropic
(QI) configuration by readapting a promissing RUL
methodology that accounts for the linear strain en-
ergy release rate throughout stage II of FRPs fa-
tigue life under strain controlled test conditions [10].
A cycle-by-cycle prediction update together with a
final derivation of a damage parameter independent
of the total number of performed cycles is intended
to simulate a real maintenance scenario. Keulen et
al [11] were pioneers in replicating this methodol-
ogy to SHM techniques using an embedded fiber
Bragg grating (FBG). A local rather than global
approach revealed the onset and growth of matrix
cracks and other micron- or submicron-level defects
undetectable by an extensometer. However, disad-
vantages came from the fragile nature of the sensors
- requiring special care during manufacturing - and
the need for implementation in a highly plausible
location for damage growth. Overcoming these lim-
itations is possible using TSA’s full-field and non-
contacting nature.

2. Background
2.1. Stress-based thermoelastic equations

The thermoelastic effect detected on the surface
of multidirectional laminates under in-plane stress
conditions can be expressed in relation to the prin-
cipal stress (x, y) and principal material directions
(1, 2) in matrix form:

∆T = − T0
ρCp

[α]Tx,y[σ]x,y = − T0
ρCp

[α]T1,2[σ]1,2 (2)

When loading along the principal stress direc-
tions, τs component is null whereas along the prin-
cipal material directions, α6 is zero:

[σ]x,y =

σxσy
0

 ; [σ]1,2 =

σ1σ2
τ6

 (3a)

[α]x,y =

αx

αy

αs

 ; [α]1,2 =

α1

α2

0

 (3b)

Expansion of equation (2) yields the well-known
TSA surface stress-based formulation:

∆T = − T0
ρCp

(α1∆σ1 + α2∆σ2)

= − T0
ρCp

(αx∆σx + αy∆σy)

(4)

For isotropic materials, the coefficient of thermal
expansion is independent of the considered direc-
tion. Therefore, for the principal stress directions,
equation (4) is simplified as:

∆T = − T0
ρCp

α(∆σx + ∆σy) (5)

2.2. Strain-based thermoelastic equations
In an uniaxially loaded multidirectional laminate,

a different stress field is generated depending upon
the fiber orientation, thus a locally distinct stress
induced temperature change is attained. However,
if perfectly bonded layers are considered, the strain
field along the principal stress direction will be con-
stant. Therefore, a thermoelastic formulation in
terms of strain components is a more useful ap-
proach. Taking the (1, 2) directions of the or-
thotropic surface layer as the initial reference axis,
from equation (2) one can obtain:

∆T = − T0
ρCp

[α]T1,2[Q]1,2[T ]ε[∆ε]x,y (6)

where [Q]1,2 is the reduced stiffness matrix and [T ]ε
the transformation matrix for strain terms:σ1σ2

τ6

 =

Q11 Q12 0
Q12 Q22 0

0 0 Q66

ε1ε2
γ6

 (7a)

ε1ε2
γ6

 =

 c2 s2 cs
s2 c2 −cs
−2cs 2cs c2 − s2

εxεy
γs

 (7b)

where c = cos(θ), s = sin(θ). For balanced and
symmetric laminates, γs = 0. After simplification
and factorization of equation (6) in terms of mate-
rial constants and strain terms:

∆T = − T0
ρCp

[(α1Q11 + α2Q12)(∆εxc
2 + ∆εys

2)

+(α1Q12 + α2Q22)(∆εxs
2 + ∆εyc

2)]

(8)

The global Poisson’s ratio, νxy, shall be also in-
troduced to eliminate the influence of the trans-
verse strain change from the thermoelastic equa-
tions hereinafter:

∆T = − T0
ρCp

[(α1Q11 + α2Q12)(c2 − νxys2)

+(α1Q12 + α2Q22)(s2 − νxyc2)]∆εx

(9)

Equation (9) is attributed to the bulk model
(hereinafter simplified as ’Bulk’) i.e the surface ply
is responsible for the temperature changes mea-
sured.

Current composite manufacturing processes lead
to the accumulation of resin matrix in the outer sur-
face of the laminate, immediately after the first ply.
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For increasing loading frequencies and epoxy thick-
nesses, the wavelength and amplitude of the heat
wave generated in the laminate substrate are re-
duced, known as the thermal drag-down phenomena
[12]. It can be detected from an increasing phase
shift of the measured signal [13]. This layer is said
to act as a strain witness of the laminate, i.e.:

∆εxr = ∆εxc

∆εyr = ∆εyc = −νxy∆εxc
(10)

where the subscripts r and c stand for resin and
composite, respectively. Minimum resin thickness
thresholds of 25 µm and 30 µm have been estab-
lished for signal attenuation to occur in glass and
carbon fiber-reinforced composites, respectively [14,
15]. Low conductive reinforcement materials (in
particular, glass fibers) proved to better fit the
strain witness model and more effectively whenever
the surface ply is oriented transversely to the ap-
plied load [13, 16, 17].

The stress-strain relation for isotropic materials
writes:

∆σx + ∆σy =
Er

1− νr
(1− νxy)∆εxc (11)

The resin-rich layer (RRL) model is obtained af-
ter substituting equation (11) into equation (5):

∆T = −T0
αr

ρrCpr

[
Er

1− νr
(1− νxy)∆εxc

]
(12)

When working under combined load-frequency
conditions inefficient to prevent heat diffusion from
occuring, treating the laminate thermal behaviour
as globally homogeneous has enabled good compu-
tational reproducibility of the magnitude and dis-
tribution of the experimental full-field stress map
obtained in carbon made sandwich panels [18]. The
same treatment applied in [19] for determining the
maximum stress concentration factor around holes
in unidirectional glass/epoxy specimens revealed
close agreement with experimental results. Con-
sidering a balanced and symmetric laminate, the
global stress-strain relation is dependent upon the
extensional stiffness matrix terms, Aij . The ho-
mogeneous model equation (simply referred to as
’homogeneous’) yields:

∆T = − T0
ρCph

[αx(A11+A12)−αy(A12+A22)νxy]∆εx

(13)
where h is the laminate thickness. A last strain-
based thermoelastic model has been suggested
by Sambasivam [20] and is applicable at the or-
thotropic surface layer level. The novelty in rela-
tion to the previous described model is assuming the
thermal strains have a constant through-thickness

behaviour as the mechanical strains. The denoted
’CTE’ model is written as:

∆T = − T0
ρCp

[αx(Q11+Q12)−αy(Q12+Q22)νxy]∆εx

(14)

2.3. Remaining useful life methodology
Natarajan et al [10] observed a growing trend of

the expended strain energy rate, dU/dN , for FRP’s
submitted to constant strain amplitude conditions
under fatigue. It can be splitted in three segments
as shown in figure 1.

Figure 1: Expended strain energy as a function of
the number of cyclic loads [10].

The same authors developed a promising method
based on the linear evolution of the strain energy re-
lease rate during the intermediate stage. The slope
was found to be correlated with different applied
strain ratios (εmax/εult) by a power law function:

dU

dN
= a

(
εmax

εult

)b

(15)

where different a and b coefficients must be attained
according to the stacking sequence, fiber volume
fraction, specimen thickness and loading type (e.g.
for tension-tension, tension-compression, bending).
Integrating the previous equation between the mo-
ment before fatigue initiation and the end of stage
II, the following remaining useful life equation can
be obtained:

Nf =
U0(r − 1)

a (εmax/εult)
b

(16)

where r = Uf/U0 and U0 is the strain energy at the
initial mean load level.

Readjustments must be proceeded so that TSA
can be applicable at its full capability. Firstly, a
calculation of the total number of cycles until fail-
ure Nt is more intuitive than defining calculations
up to the end of stage II. To avoid dependency of
the RUL calculations upon the specimen’s area se-
lected for strain averaging, strain energy density, u,
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will be considered hereinafter. From the reversible
condition inherent to TSA, the elastic strain energy
density at the mean strain level, u0, can be calcu-
lated:

u0(N) =
1

2
Ex(N)∆ε2x (17)

where Ex is the global longitudinal Young’s Modu-
lus and ∆εx is separately derived from each four
thermoelastic models already described. Aware
that stage III is reached at 90% of the fatigue life,
from equation (16) the final form of the RUL cal-
culation using TSA yields:

Nt =
u0(r − 1)

0.90
[
a (εmax/εult)

b
] (18)

3. Implementation
A summary of the adopted strategy for remain-

ining useful life implementation is presented:

• Determine the in-plane mechanical and ther-
mal properties built-in the strain-based ther-
moelastic models;

• Perform exploratory tests on the required fre-
quency to reach quasi-adiabatic conditions;

• At the selected frequency, assess which of the
thermoelastic models better describes the sig-
nal measured by the infrared camera;

• Determine the global Young’s modulus (Ex)
and Poisson’s ratio (νxy);

• ’TSA’ step: cyclic strain-controlled test under
tensile-tensile conditions with a maximum ap-
plicable strain level limited by the yield point
threshold. ∆T, T0 and phase data are collected;

• ’Fatigue’ step: cyclic strain-controlled test un-
der tensile-tensile conditions where damage is
allowed to initiate and evolve in the laminate;

• The procedure restarts from the 4th step if fail-
ure has not occurred. Nt is continuously up-
dated.

3.1. Material processing
Layers of stitched unidirectional E-glass fibers

with a total areal weight of 330 g/m2 preimpreg-
nated with epoxy resin were used during the fabri-
cation stage of the test specimens. An alluminium
mold surface of 400 x 450 mm was prepared for
curing inside a temperature controlled oven. A
two-step temperature profile consisted in a first
dwell period of 1h30 at 700C followed by a second
dwell period of 2h00 at 1200C. Finally, the assembly
cooled down to room temperature at a slow rate to
avoid generating residual stresses.

3.2. Material properties determination
Quasi-static tests to obtain in-plane longitudi-

nal and transverse lamina mechanical properties
(E1, E2, ν12) followed the procedures from ASTM
D3039 standard test method. Unidirectional lami-
nates ([0]12 and [90]12) were cut and bonded with
25 x 50 x 1 mm alluminium tabs. For the epoxy
case, a dog-bone shape as recommended in stan-
dard ASTM D638 was cut and left untabbed. In-
plane shear properties (G12) relied on the geomet-
ric dimensions and experimental procedures recom-
mended in the V-notched test method using thick
cross-ply specimens. Cp was determined using a dif-
ferential scanning calorimetry device initially cali-
brated from a synthetic saphire disk with tabulated
Cp values over the desired range of temperatures.
α relied on a strain gage method performed in-
side a temperature-controlled oven. The same al-
luminium material used for tabbing provided the
reference value for the coefficient of thermal expan-
sion (2.40 × 10−6 0C−1) initially determined from a
Thermomechanical Analysis (TMA). Density mea-
surements were based on the hydrostatic weighing
method using water as the immersion liquid. A sub-
sequent burnoff test using the same specimens and
density test results determined the void content and
fiber volume fraction. Final averaged results for the
GFRP and epoxy resin are presented in table 1.

Property GFRP Epoxy
E1 (GPa) 34.15 —
E2 (GPa) 12.33 —
ν12 0.23 —
G12 (GPa) 3.75 —
Cp (J/(Kg.0C)) 933 —
ρ (Kg/m3) 1834 —
α1 (0C−1) 7.00×10−6 —
α2 (0C−1) 2.60×10−5 —
vv (%) [4.71,6.97] —
vf (%) [46.77,49.03] —
vm (%) 46.26 —
Er (GPa) — 3.08
νr — 0.35
Cpr (J/(Kg.0C)) — 1291
ρr (Kg/m3) — 1142
αr (0C−1) — 6.60×10−5

Table 1: GFRP’s and epoxy’s material properties.

A quasi-isotropic (QI) configuration ([0/45/-
45/90]s) was selected for further RUL calculations
(hereinafter referred to as QI(0)). Two relevant
properties to be determined from the stress-strain
(σ-ε) curve are the yield and ultimate tensile loads
and strains. The yield point limits the TSA’s
maximum impartable loading conditions whereas
properties at break are useful to define a ratio
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between applied and ultimate strains (εmax/εult).
Samples with the same in-plane dimensions and
bonded alluminium tabs’ geometry as previously
used for lamina’s tensile properties determination
were quasi-static loaded until failure, again in accor-
dance with the standard ASTM D3039 recommen-
dations. Global values for the coefficient of thermal
expansion along and transversely to the loading axis
(αx and αy, respectively) followed the strain gage
methodology.

The fatigue coefficients built-in equation 18, a
and b, were derived from the power law fitting curve
to the strain energy density variation in stage II of
the fatigue life, du/dN , obtained for different ap-
plied strain ratios, εmax/εult. Three tension-tension
strain-controlled cyclic tests were ran on QI(0) spec-
imens at each considered strain ratio (0.4, 0.5, 0.6,
0.7 and 0.8) until failure. Heat generated at fre-
quencies higher than 5 Hz influences the fatigue
life of GFRP’s [10, 11]. Therefore, the maximum
threshold was kept constant for all tests. A mini-
mum strain level of 8% of the ultimate tensile strain
assured positive load values until failure as the spec-
imen’s axial stiffness degraded. A similar power law
trend for the ratio between the strain energy den-
sities at the end of stage II and initial mean strain
level (r = uf/u0) was observed. The final value
was derived from the fitting curve equation accord-
ing to the strain ratio imparted during the fatigue
stage. Final averaged results are presented in table
2 whereas power law fitting curves plotted in figures
2 and 3.

Property Value Property value
αx (0C−1) 1.20×10−5 εyield (%) 0.39
αy (0C−1) 1.20×10−5 εult (%) 2.59
Pyield (kN) 3.72 Pult (kN) 17.86
a 4654.6 b 7.3964

Table 2: QI(0) GFRP averaged properties.

Figure 2: Experimental results and fitting plot for
εmax/εult = f(uf/u0).

Figure 3: Experimental results and fitting plot for
du/dN = f(εmax/εult).

4. Frequency test and signal calibration
4.1. Experimental apparatus

Load control tests were ran at 5, 8, 10, 12, 15 and
18 Hz on a 25.08 mm wide and 2.15 mm thick QI(0)
specimen using an Instron 8803 servo-hydraulic ma-
chine. From the ultimate tensile tests results, a
maximum peak cyclic load of 3.7 kN assured lin-
ear elastic stress-strain conditions. To maintain a
tensile-tensile condition throughout the test, a min-
imum load value of 0.3 kN was chosen. The strain
range was measured along and transversely to the
loading direction using two uniaxial strain gages
bonded to the specimen’s surface.

Figure 4: ∆T/T0 as a function of the cyclic loading
frequency, f , for the QI(0).

A FLIR X6580sc model containing an Indium an-
timonide (InSb) photon detector built-in measured
the thermoelastic signal. The camera with a 25
mm lens configuration was fixed at a stand-off dis-
tance of 520 mm with a tilted angle in relation to
the specimen’s surface to avoid the Narcissus effect.
Thermal images were collected with an integration
time of 1900 µs which fixed the maximum measur-
able temperature to approximately 50 0C.

The Edevis DisplayImg 6 software allowed user-
control of the data acquisition process, data pro-
cessing and visualization of the final results. The
duration of the image integration process was fixed
by the number of loading cycles i.e. 1200 cycles.
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Manual data triggering started 60 s after reaching
the mean strain level. The strain gage datasets were
averaged from that moment onwards. From initial
emissivity tests, a value of 0.95 was devised.

∆T/T0 (×10−4) Phase (0)
f (Hz) Average SD Average SD

5 5.39 0.61 -1.51 3.16
8 5.27 0.60 -5.26 1.64
10 5.23 0.58 -2.38 1.45
12 4.87 0.54 -4.04 1.89
15 4.87 0.57 -15.27 1.46
18 4.65 0.56 -12.28 1.75

Table 3: Strain range, temperature ratio and phase
experimental data obtained for QI(0).

Figure 5: ∆T dependency with f for QI(0).

4.2. Results discussion

Temperature amplitude (∆T/2), phase angle (0)
and mean absolute surface temperature (T0) were
collected from a box of pixels generated away from
the specimen’s edges to avoid capturing the effects
of the cyclic motion. A first comparison between the
experimental (with average and standard deviation)
and calculated temperature ratios’ (∆T/T0) evolu-
tion with increasing frequency f is shown in figure
4. A ratio decay is continuously observed and more
abrupt between the 10 and 12 Hz steps (6.9 %). On-
wards, heat is cyclically transferred between lami-
nas at a shorter wavelength, hence a more stabilized
response is attained meaning a quasi-adiabatic con-
dition is reached.

The RRL model better approaches the exper-
imental data for the QI(0) which evidences the
tendency to define GFRPs as thermoelastically
isotropic. To aid understanding the influence of
the resin in the surface thermal field, the pixel-by-
pixel experimental ∆T dependency with frequency

is shown in figure 5. The surface ply fiber orienta-
tion is clearly visible, possibly indicating an influ-
ence of the surface ply in the final results wherever
there’s a reduction in the epoxy thickness. Never-
theless, an increasing homogenization of the tem-
perature difference field over the specimen’s sur-
face demonstrates the diminishing influence of the
composite’s bi-phase structure in the final response.
Moreover, the overall temperature amplitude reduc-
tion is explained by the drag-down phenomena.

Figure 6: ξr(%) at f = 12 Hz for QI(0).

The experimental averaged temperature ratio,
∆T/T0, with standard deviation as well as the
phase average with standard deviation are pre-
sented in table 3. Thermal drag-down effect in
the QI(0) can be inferred from the sudden aver-
age phase jump between the 12 and 15 Hz tests.
Again, quasi-adiabatic conditions are gradually at-
tained for increasing frequencies as the temperature
ratio’s scatter is reduced.

The percentage relative error (ξr) between the
experimental and calculated ∆T/T0 was derived for
the 12 Hz loading frequency case:

ξr =
|(∆T/T0)t − (∆T/T0)e|

(∆T/T0)t
× 100 (19)

where the subscripts t and e stand for theoreti-
cal and experimental, respectively. From figure 6,
there’s an overall uniformity in the RRL theoretical
temperature ratio prediction followed by the homo-
geneous model whereas the CTE model is the most
discrepant of the four under consideration. More-
over, the relative error of the bulk model in the
visible surface fibers is lower in comparison with
the RRL model. In contrast, the thermoelastic ef-
fect in the matrix areas is better captured by the
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strain witness assumption. Although globally the
CTE model performs the worst, locally can better
perform where other models failed. An example is
reported in the rectangle drawn in the upper right
side of the four images. These full-field represen-
tations evidence the incorrect under or over pre-
dictions of the actual response that can be derived
if considering a single model and an averaged value
to characterize the thermoelastic effect in laminated
composite materials.

5. RUL prediction tests
5.1. Experimental apparatus

The final procedure can be generalized into three
main steps that are sequentially repeated every
20,000 fatigue cycles until gross damage is observed.
An initial static step using a bi-axial extensome-
ter with 50 mm axial and 25 mm transverse gauge
lengths while loading the specimen up to a maxi-
mum strain level of 3100 µε allowed a constant νxy
and Ex update. In the following TSA step, u0 is
measured whereas damage is allowed to initiate and
propagate during the subsequent fatigue step. Both
are performed under strain-controlled test condi-
tions by using a dynamic extensometer with a 50
mm gauge length attached to the side previously
in contact with the peel-ply while curing. Cyclic
strain limits for TSA tests were set between 2-15%
of the ultimate tensile strain (UTS), equivalent to
the minimum and mean fatigue strain level. There-
fore, the maximum should be fixed at 28% of the
UTS. From figure 2, the r value is established to
1.71.

The temperature correction methodology derived
in [21] to compensate the non-stress related temper-
ature increase at the crack surfaces was replicated
in this work. A calibration parameter, R, is deter-
mined for each point in the images from the ratio
between mean absolute temperature averaged over
the specimen’s surface at step 0 and the local abso-
lute temperature, Tm:

R = (T0/Tm)
n

(20)

where the coefficient n depends upon the infra-red
wavelength range detectable by the camera. For the
FLIR model used in this work, the range lying be-
tween 1.5 and 5.5 µm yielded a coefficient n = 9.74.
The temperature ratio after correction ((∆T/T0)c)
can be obtained from the following equation:

(∆T/T0)c = R. (∆T/T0)m (21)

From the TSA’s frequency dependency tests of sec-
tion 4, a 12 Hz value guaranteed an almost sta-
bilized temperature change at the surface. Under
fatigue, the 5 Hz frequency used during the fatigue
coefficients determination tests in section 3.2 was
selected. The camera’s integration time was set to

1900 µs whereas the frame rate to 480 Hz. A stand-
off distance of approximately 570 mm remained con-
stant for all tests. Table 4 summarises the test con-
ditions and specimen’s dimensions.

5.2. Results discussion

A total of 17 steps involving 327,630 cycles were
performed. Step 14 was the last before the material
entered stage III. Although complete separation of
the specimen at the crack region didn’t occur, tests
terminated after overcoming the strain limits de-
fined in table 4.

The direct measurements resultant from the
static and TSA tests as well as averaged strain
changes calculated for each thermoelastic strain
model are presented in table 5. In comparison with
the imparted strain change from table 4, the av-
eraged results derived from the RRL are in better
agreement which is in accordance with the conclu-
sions derived from the frequency tests section. In
addition, the increase in the standard deviation re-
sults regarding the TSA’s experimental data de-
note the appearance of multiple locations where
crack friction effects cause non-adiabatic thermal
responses.

Plots of averaged Nt as a function of the per-
formed step for the four different thermoelastic
models are shown in figure 7. Clearly, any RUL
predictions derived from the CTE model become
meaningless caused by the irrealistic underpredicted
longitudinal strain change. The remaining three fol-
low a decreasing trend similar to the three stages
defined in figure 1. Stage I characterized by an
abrupt release of energy is inferred by the steep
decrease in Nt up to step 2, followed by a nearly
constant averaged RUL up to 2.60×105 cycles per-
formed, after which a new abrupt change in me-
chanical properties leads to a linear decay in the
specimen’s life before final failure within stage III.
The best initial prediction is provided by the bulk
model (4.5% error). Despite the closest proximity
of the dynamic extensometer readings to the RRL
strain change calculations, one can define a range
between steps 5 and 9 where the relative errors for
this model are minimised (a maximum 16.5% error
was attained in step 5). On the other hand, up to
step 7, both the bulk and homogeneous models are
in good agreement with the experimental results.

However, none of the models is capable of cap-
turing the experimental line trend from step 10 on-
wards where the predicted averaged results strad-
dle the experimental ones. Some reasons can be
pointed out to justify the results’ loss of accuracy
within the final steps. Firstly, the increased pop-
ulation of crack propagation fronts yields higher
averaged ∆T/T0 representing local regions under
higher levels of deformation thus capable of sus-
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Dimensions TSA step Fatigue step
h (mm) w (mm) f (Hz) N εmin(%) εmax(%) f (Hz) N εmin(%) εmax(%)

2.08 25.09 12 1200 0.052 0.388 5 20000 0.052 0.725

Table 4: Specimen’s initial dimensions and strain controlled-test parameters for the TSA and Fatigue
steps.

∆T/T0 (×10−4) Phase (0) ∆εx (×10−3)
Step Ex (GPa) νxy Avg SD Avg SD RRL Bulk CTE Homo.

0 17.92 0.31 5.23 0.64 3.2 2.0 3.57 4.28 2.27 3.88
1 15.93 0.29 5.18 0.69 2.5 1.8 3.44 4.10 2.23 3.74
2 15.53 0.26 5.19 0.70 4.3 2.1 3.30 3.92 2.20 3.60
3 15.39 0.28 5.17 0.72 0.1 1.6 3.38 4.03 2.21 3.68
4 15.17 0.27 5.24 0.81 -5.3 1.7 3.38 4.03 2.24 3.69
5 15.05 0.28 5.32 0.78 4.1 3.3 3.48 4.15 2.28 3.79
6 14.99 0.27 5.19 0.80 0.4 3.2 3.35 3.99 2.21 3.65
7 14.66 0.26 5.06 0.80 5.6 4.3 3.22 3.83 2.15 3.51
8 14.61 0.25 5.19 0.83 3.8 4.5 3.26 3.87 2.19 3.55
9 14.59 0.25 5.02 0.78 6.7 3.8 3.16 3.74 2.12 3.44
10 14.65 0.27 5.02 0.79 4.0 4.0 3.24 3.86 2.14 3.53
11 14.46 0.25 5.31 0.80 7.0 4.3 3.34 3.96 2.24 3.64
12 14.45 0.27 5.16 0.87 9.3 5.7 3.33 3.96 2.20 3.63
13 14.25 0.26 5.50 1.03 4.5 5.6 3.50 4.16 2.33 3.81
14 14.12 0.26 5.30 0.98 1.8 5.5 3.37 4.01 2.25 3.67
15 13.89 0.24 5.25 1.05 5.8 9.8 3.26 3.85 2.21 3.55
16 13.19 0.22 5.25 1.21 4.2 14.6 3.18 3.75 2.19 3.46

Table 5: Static and TSA tests measurements together with calculated ∆εx for the different thermoelastic
strain models under consideration.

taining more cycles until failure since global Ex

and νxy values cover any points in the structure.
This scenario is first witnessed in the transition
from step 10 to 11 where the averaged ∆T/T0 in-
creases by 5.8%. If solely relying in the dynamic
extensometer readings, capturing this phenomenon
would be impossible. In addition, the high-cycle
fatigue test imparted damage at a very slow rate
and the crack responsible for tests completion was
confined to a small area. Surrounding areas, al-
though damaged, could still withstand the applied
deformation levels and contributed to push the av-
eraged results towards higher values. Finally, it is
important to underline the incapability to update
the thermal and mechanical properties built-in the
thermoelastic strain equations after severe degra-
dation has been imparted to the specimen. This
situation would be diminished if an unidirectional
stacking sequence was tested. For instance, static
tests in UD(0) would yield Ex = E1 and νxy = ν12.

Assessing the RUL using a single averaged strain
value proves to follow the decreasing life trend
but fails as an accurate predictor starting from in-
between the material’s mid-life period. In the seek
of seizing the full-field capability of TSA data, pixel-

by-pixel maps of RUL results are to be obtained. In
the absence and incapability of locally determining
Ex and νxy using the current methodology, calcu-
lations are performed considering an even degrada-
tion for any (x, y) positions of the specimen, which
turns out to be a misconception. Yet, and for the
sake of discussion, whether crack surfaces already
formed or under propagation are considered, a lo-
cally Ex would always turn out to be smaller than
the global value, thus yielding a lower RUL predic-
tion in both situations. Therefore, the final results
here presented allow a less conservative approach to
the problem.

Figure 8 separate the locations comprehended in-
side and outside the last 10% of the specimen’s life
(in yellow and blue colours, respectively) using the
RRL model equation. A total of 4 intermediate
steps together with the specimen’s image after tests
completion is presented. The area percentage ly-
ing within stage III increases as a consequence of
the increased damage level of the specimen. The
location and severity of the crack responsible for
final fracture is now well predicted and confirma-
tion only occurs at the last TSA step. In fact, the
crack was continuoulsy evolving behind one of the
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elastics that positioned the dynamic extensometer
throughout the course of the strain-controlled ex-
periments but only became visible after propagat-
ing downwards. Whenever an unobstructed line of
view is absent, TSA becomes a vulnerable technique
for damage assessment.

For step n, a non-dimensional parameter, D, is
defined by the ratio between the local number of
cycles until failure, Nn(x, y), and the average RUL
determined at the undamaged state, N0:

D =
Nn(x, y)

N0
(22)

Figure 7: Comparison between predicted and ex-
perimental number of cycles until failure, Nt.

Figure 8: Locations with remaining number of cy-
cles inside (in yellow) and outside (in blue) the stage
III threshold using the RRL model.

Figure 9: D at steps 4, 8, 14 and 16 considering the
epoxy resin material properties.

The purpose of this parameter is to provide a
feasible comparison in a real maintenance scenario
where the actual number of cycles until failure is un-
known. Figure 9 presents the calculations for three
intermediate steps and the final one using the RRL
model. The number of damaged locations is once
again seen to increase from the presence of lower D
values represented with a blue colour. From the ini-
tial step considered, the surface ply fibers are clearly
responsible for withstanding most of the applied
load as they gradually lose strength, thus yielding a
D value smaller than the surrounding epoxy resin’s.

6. Conclusions

RUL calculations using the strain energy den-
sity methodology applied to TSA were successfully
reproduced in a geometrical homogeneous surface
without a priori knowledge of the final failure lo-
cation. The TSA’s full-field capability enabled the
severity quantification of the crack responsible for
final failure. However, a straight-forward applica-
bility to a real maintenance scenario is still not
foreseen. The need to redetermine the fatigue co-
efficients and energy ratio for every new geomet-
rical configuration and laminate micro and macro
structures under test still encloses this technique
to laboratorial environment. Moreover, the con-
stant frequency strain-controlled tests applied to
the simple geometry are an idealized scenario. If
extrapolation to a real case scenario is intended,
formulations must be readjusted to account for vari-
able frequencies and amplitudes throughout the test
course. Finally, a local recalculation of the mechan-
ical and thermal properties able to account for ma-
terial degradation due to damage would improve the
accuracy of the methodology.
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